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Fatigue Behavior of Welded Joints Part 2: 
Physical Modeling of the Fatigue Process 

Two complementary models were developed to predict fatigue behavior of joints in 
fillet welds 

BY P. DARCIS, T. LASSEN, AND N. RECHO 

ABSTRACT. The fatigue process in fillet 
welded joints is discussed and modeled. 
As a first approximation, a pure fracture 
mechanics model was employed to de
scribe the entire fatigue process. The 
model is calibrated to fit the crack growth 
measurements obtained from extensive 
testing on fillet weld joints where cracks 
emanate from the weld toes. Emphasis is 
laid on the choice of growth parameters in 
conjunction with a fictitious initial crack 
size distribution in order to obtain both re
liable crack growth histories and predic
tions of the entire fatigue life. The model 
has its shortcomings in describing the 
damage evolution at low stress ranges due 
to the presence of a significant crack initi
ation period in this stress regime. As an al
ternative to the fracture mechanics model, 
a two-phase model (TPM) for the fatigue 
process was developed and calibrated. 
The number of cycles to crack initiation 
was modeled by a local strain approach 
using the Coffin-Manson equation, 
whereas the propagation phase was mod
eled by fracture mechanics, adopting the 
simple version of the Paris law. The notch 
effect of the weld toe was treated by ex
treme value statistics for the weld toe ra
dius. To make the model fit all test data for 
crack initiation and propagation, it is cru
cial to select a sufficiently low transition 
depth between the two phases. A transi
tion depth of 0.1 mm (0.004 in.) was se
lected. Furthermore, the material para
meters in the Coffin-Manson equation 
were determined directly from the early 
cracking in the weld toe for full-scale fillet 
welds and not from tests carried out with 
small-scale smooth specimens. This is es
sential if the model is to account for the ac
tual surface condition at the weld toe. The 
S-N curves constructed by the present 
physical model were compared with the 
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median nonlinear S-N curve obtained 
from the statistical random fatigue-limit 
model (RFLM) presented in Part 1 of this 
investigation. The curves are almost iden
tical in the stress region where experimen
tal data exist and both models fit the ex
perimental data very well. However, the 
TPM does not predict any fatigue limit, in 
contrast to the RFLM. According to the 
TPM, the long fatigue life found at low 
stress ranges is a result of a dominating 
long initiation period and is not a thresh
old phenomenon. The two models are 
complementary tools. The RFLM is a 
pure statistical model, whereas the TPM is 
a semiempirical physical model. The TPM 
is capable of taking into account the effect 
of the global geometry of the joint, the 
local weld toe geometry, applied stress 
ratio, and the residual stress condition. 
Both models can be used for fatigue life 
predictions, but only the physical TPM can 
be used for planning of in-service inspec
tion strategies where damage evolution as 
a function of time is needed. 

Introduction and Objectives 

In this investigation, the fatigue 
process in fillet-welded joints where 
cracks emanate from the weld toe was 
studied and modeled. In Part 1, a statisti
cal model based on a joint random fatigue 
life and a random fatigue limit [random fa
tigue-limit model (RFLM)] was applied to 
predict the fatigue life of these types of 
joints. The S-N curve obtained from this 
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RFLM was nonlinear for a log-log scale 
between the stress range AS and number 
of cycles N to failure. The model fits the 
assembled S-N data in the low stress re
gion far better than the traditional bilinear 
S-N curve found in rules and regulations. 
The fatigue behavior is obviously signifi
cantly more complex at low stress ranges 
than the conventional curves are able to 
describe. The RFLM-based nonlinear 
curves give some new physical insight into 
the fatigue process itself and this is pur
sued in this investigation by a semiempir
ical physical model. The model is a com
plementary tool to the statistical RFLM 
developed in Part 1. It is important to con
trol the physical parameters that have an 
influence on the fatigue damage process 
as it evolves toward final failure. This is 
important when the following predictions 
are required: 

• Predictions of fatigue life under condi
tions for which experimental data do 
not exist 

• Predictions of likely crack growth histo
ries leading to failure. 
The need for a more physical model for 

carrying out the first type of predictions is 
obvious; fatigue life can only be predicted 
by a statistical model for joints pertaining 
to the populations and conditions for 
which the model was established. If basic 
fatigue properties such as joint geometry 
or loading modes are changed, it is only a 
physical model that can predict the effect 
of such changes on the fatigue life. Hence, 
the physical model is an important tool in 
safe life analysis. The second type of pre
dictions are required if inspection plan
ning is to be carried out, i.e., a damage tol
erance approach. In this case it is a 
necessity to characterize the fatigue 
process itself, not only to determine the 
final fatigue life. This is essential if in-
service inspections are to be planned; we 
must know what crack sizes to look for at 
different times before final failure. This 
will make the scheduled inspection more 
efficient and economical. Based on these 
considerations, a physical model will be 
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Fig. 1 — Joint configuration with crack shape parameters a and c. Fig.2 — Growth parameters obtained from experiments together with the BS 
7910 scatter-band. A — Linear relationship; B — bilinear relationship. 
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Fig.3 — Experimental a-Ncurve (Database I). Fig. 4 — Histogram for In C (MPa, m). 

established to meet the following criteria: 
• The model should be corroborated by S-

N data for the joint in question when 
these are available. (Database 1 and 2 
in Part 1.) 

• The model should predict a crack evo
lution that coincides with measured 
crack growth histories before failure. 
(Database 1 in Part 1.) 
With this background, we endeavored 

to model the fatigue process in fillet weld 
joints. The total fatigue life was consid
ered to be the sum of the cycles spent in 
the crack initiation phase and the crack 
propagation phase: 

NT = N, + NP (1) 

For some time there has been a debate 
among researchers and engineers as to 
whether or not the crack initiation period 
is important. The traditional belief has 
been that fatigue crack growth often starts 
from surface-breaking defects in the weld 
toe region. The initial flaw has often been 

assumed to have a depth greater than 0.1 
mm, sometimes 0.25 mm. In rules and reg
ulations, an initial crack depth even as 
deep as 0.5 mm (0.02 in.) has been recom
mended (Ref. 1). These flaws act as direct 
starters for the fatigue crack propagation 
and the fatigue initiation period can be ne
glected. However, with advanced fatigue 
testing where the entire crack depth his
tory, and not only the final fatigue life, is 
monitored, it has become obvious that this 
simple approach does not fit the facts. Sev
eral researchers have obtained experi
mental evidence that supports the exis
tence of a crack initiation period (Refs. 2, 
3). The conclusion is that rather than 
speaking of small microcracks or inclu
sions in the vicinity of the weld toe, it is 
more correct to use the notion of unfavor
able surface condition, which gives a 
rather short initiation period under accel
erated laboratory conditions. The early 
damage mechanism is a combination of 
crack nucleation and microcrack growth. 
In welded joints subjected to high stresses 

in accelerated laboratory conditions (typ
ically stress range of 120-150 MPa 
(17.4—21.7 ksi)), the initiation period, de
fined as time to reach a crack depth of 0.1 
mm, is typically 30% of the entire fatigue 
life (Ref. 3). This means that if the same 
joint is subjected to stress levels that are 
typical of service conditions (equivalent 
stress range 50-80 MPa (7.3-11.6 ksi), the 
crack initiation will totally dominate the 
fatigue life. Due to this fact, a fracture me
chanics model (FMM) will not be able to 
meet both of the model criteria listed 
above. With this background, a TPM was 
investigated and compared with the FMM 
as well as with the results obtained by the 
RFLM in Part 1 of this article. It was 
Lawrence et al. who first suggested the 
TPM and a good overview is given in Refs. 
4 and 5. As the method now stands, its ac
curacy depends greatly on the calibration 
experiments. Our objective here is to elab
orate and calibrate the model to fit the 
various test series that were presented in 
Part 1. The predictions made by the model 
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Fig. 5 — Histogram for the initial crack depth. Fig. 6 — Schematic illustration of the local stress-strain hysteresis loop 
analysis. 

Table 1 — Statistics for Local Weld Toe Geometry, Database 1 

Weld toe angle 9 (degrees) 
Mean Standard Deviation 
58 9 

Weld toe radius p (mm) 
Mean Standard Deviation 

1.6 0.7 

will be compared with the predictions 
made by the RFLM in Part 1. 

The Fracture Mechanics 
Approximation 

Before developing the TPM we shall 
present a brief overview of the fracture 
mechanics model and point out its short
comings when it comes to describing the 
entire fatigue process for high-quality 
welds. It is assumed that the FMM can 
predict the propagation rate of a semiel-
liptical crack, as shown in Fig. 1, from its 
initial crack depth to final critical crack 
depth. By integration of the Paris law the 
number of cycles to failure can be pre
sented in an S-N format: 

C J 

da 

fl° ASinaF a 

(2) 

where C and in are treated as material pa
rameters for a given mean stress and envi
ronmental condition. F(a) is a dimension-
less geometry function accounting for 
loading mode, crack, and joint geometry. 
The equation is valid when the stress in
tensity factor range (SIFR) AK = 
AS4mF(a) is greater than the threshold 

value AK(j. Below this threshold value, it is 
assumed that the crack will not grow. Rec
ommendations are given in BS 7910 (Ref. 
6) for the growth rate parameters C and in 
and the threshold value AK0. The geome
try function F(a) is also given. Regarding 
the parameters C and m, two alternatives 
are suggested for the relationship between 
the growth rate da/dN and the SIFR for a 
log-log scale. The first alternative is based 
on a single linear relationship, whereas the 
second alternative proposes a bilinear re
lationship — Fig. 2. The data points on the 
figure are derived from growth measure
ments and are discussed below. The main 
difference between the two models is that 
the bilinear one models the gradual de
crease in the growth rate for low values of 
the SIFR before the threshold value is fi
nally reached. As a first approximation, 
the FMM was used to fit all the measured 
growth histories given in Fig. 3 (Database 
1). Each of the 34 curves was fitted by the 
FMM by adopting the slope m given for 
the growth curves in Fig. 2. For each fit the 
parameters a0 and C were determined. 
The a-N curves obtained from the FMM 
were quite close to the experimental ones 
in Fig. 3. This was true for both the single 
linear and bilinear relationships between 
the growth rate and the SIFR. Details 
from this analysis are found in Ref. 7. A 
histogram for the natural logarithm of C 

Table 2 — Measured Number of Cycles (in 
1000) Spent in Various Phases. Accelerated 
Laboratory Condition 150 MPa (Database 2) 

Nj is defined as time to reach 0.1 mm 
JVj N N, N, F-class 
140 330 468 513 

derived under the assumption of a single 
linear relationship between the crack 
growth rate and the SIFR for a log-log 
scale is shown in Fig. 4. In rules and regu
lations, the distribution of ln(C) is as
sumed to be normally distributed (as the 
fatigue life is assumed lognormally dis
tributed). The present distribution is not 
obviously a normal distribution. The re
sults are also plotted in Fig. 2 and com
pared with BS 7910 recommendations. As 
can be seen, the results are in good agree
ment with the mean line given in BS 7910. 
This was not the case for the results de
rived for the bilinear relationship. The 
growth rates are close to four times higher 
than the mean values given in BS 7910 for 
the lower line segment — Fig. 2. These 
high growth rates are probably due to the 
fact that the lower part of the bilinear 
curve is derived from tests with relatively 
long cracks (several millimeters) in com
pact tension specimens. The fatigue 
process in welded joints comprises crack 
growth of small surface-breaking elliptical 
cracks with depths less than 0.1 mm. These 
cracks may grow considerably faster than 
the lower part of the bilinear growth curve 
in BS 7910 prescribes. Hence, one should 
take care when using the bilinear relation
ship given in BS 7910 to calculate the early 
fatigue crack growth in welded joints. 
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Fig. 7 — Definition of the toe notch geometry in one specimen by extreme 
value statistics. 

Fig. 8 — S-N curves constructed from the RFLM and TPM together with the 
F-class median curve and test data. 

Table 3 — Cyclic Mechanical Properties and Parameters in the Coffin Manson Equation 
Calibrated for Time to Reach 0.1 mm, HB = 202 

Parameter, Symbol (units) 

Cyclic yield stress, S' (MPa) 
Ultimate strength, 5„ (MPa) 
Young modulus, E (GPa) 
Fatigue strength exponent, b 
Fatigue strength coefficient, o"V(MPa) 
Fatigue ductility exponent c 
Fatigue ductility coefficient eV 
Cyclic strength coefficient, K' (MPa) 
Strain hardening exponent, n' 

Value 

424 (61 ksi) 
697 (101 ksi) 
206 (30000 ksi) 
-0.089 
1032 (150 ksi) 
-0.6 
0.81 
1064 (154 ksi) 
0.148 

The statistics for the calculated initial 
crack depths a0 are given in Fig. 5. The 
mean value is 0.015 mm (0.0006 in.) and 
the upper bound is close to 0.03 mm 
(0.0012 in.). It should be emphasized that 
this initial crack depth distribution is a 
purely theoretical concept, i.e., it cannot 
be proven that the crack depths are re
lated to initial flaws created by the weld
ing process. The derived mean values for 
the a0, C, and m are substituted into Equa
tion 2 to calculate both crack evolution 
and fatigue life at various constant ampli
tude stress levels. Both the linear and bi
linear relationship is used. The following 
shortcomings were revealed: the predic
tions made by the linear relationship cor
respond to the predictions made by the S-
N curve F-class above the fatigue limit, 
whereas the predictions made by the bi
linear curve do not. It is also to be noted 
that both the F-class and the FMM fail to 
predict the long experimental lives given 
by the data points in Database 2 at low 
stress levels. In addition, the FMM fails to 
predict the fatigue limit. Based on the 

fracture mechanics threshold criterion, 
AS0 = 4m(,F(a0) = AK0, the fatigue-limit 
is 95 MPa based on the initial cracks given 
in Fig. 5. This is far too high compared 
with the limit of 56 MPa given by the F-
class and 60 MPa obtained from the 
RFLM. The reason is the same as for the 
discrepancy found between the experi
mental growth rates and the growth rates 
given in the lower part of the bilinear re
lationship in BS 7910. Both the prescribed 
drop in the growth rate and the final stop 
at low SIFR are valid for larger cracks 
only. They are not applicable to shallow el
liptical cracks at the weld toe. In conclu
sion, the FMM should not be used to 
model the entire fatigue process in high-
quality welds proven free from detectable 
initial cracks. Although the model is capa
ble of describing the crack evolution at 
one given stress level, it will fail to predict 
the change in slope of the S-N curve as the 
stress range decreases. Furthermore, the 
fatigue-limit will be overly optimistic. The 
FMM should only be applied if cracks are 
found and sized. In other cases a crack ini

tiation phase should be modeled before 
the crack propagation phase is added on. 
This is shown in the next section. 

Modeling the Fatigue Crack 
Initiation Period 

Basic Concept and Equations for the 
Local Stress-Strain Approach 

The predictions for the number of cy
cles to crack initiation, TV,-, are based on the 
Coffin-Manson equation with Morrow's 
mean stress correction (Refs. 4, 5): 

Ae 

2 

,f-
2N, -ef\2Ni (3) 

Here AE is the local strain range and rjm is 
the local mean stress at the weld toe. The 
parameters b and c are the fatigue 
strength and ductility exponents, and G'<-
and e'^are the fatigue strength and ductil
ity coefficients, respectively. The local 
stress and strain behavior is given by the 
Ramberg-Osgood stabilized cyclic strain 
curve: 

Ae = — + 2 
E 

Arj 

2K' 
(4) 

where K' and n' are the cyclic strength co
efficient and strain hardening exponent, 
respectively. Equation 4 is combined with 
the Neuber rule as follows: 

AeArj = 
K,AS 

(5) 
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;}=M=fil;tH: 
where AS is the nominal stress range, E is 
Young's modulus, and K, is the stress con
centration factor at the welded toe. Equa
tion 5 is sometimes modified by introduc
ing the fatigue notch factor Kf instead of 
K,. It is argued that the fatigue notch fac
tor better quantifies the severity of a dis
continuity in the fatigue life calculation. 
Yung and Lawrence concluded (Ref. 4) 
that Peterson's equation correctly interre
lates the fatigue notch factor to elastic 
stress concentration factors for welded 
joints: 

Kf=l+-
Kt-\ 

(6) 

Here p is the weld toe root radius and ap 

is Peterson's material parameter. The lat
ter may be approximated by the expres
sion 1.087 x 105 Su~2 (in mm, N/mm2) 
where Su is the tensile strength of the steel. 
The following expression for K, is used 
(Ref. 8): 

K, = \ + 0.5121 e 
0.572 

0.469 

(7) 

where 6 is the weld toe angle (radians) and 
T is the plate thickness — Fig. 1. 

The definition of the local stress-strain 
variation is illustrated in Fig. 6. The nom
inal stress S (left) and the local stress o" 
(right) are shown for the first reversal 
(0-1) and the stabilized hysteresis loop 
(1-2-3). The local Ao and Ae and the mean 
stress, am, corresponding to the cyclic 
loading, are determined. The effect of 
cyclic hardening or cyclic softening is 
neglected. 

In the case of an elastic notch root con
dition at the weld toe, Equation 3 reduces 
to the Basquin equation, neglecting the 
second term on the right-hand side. This 
equation can be rearranged as follows: 

N, 

(8) 

From this equation one may construct an 
S-N curve with slope b. 

Definition of the Initiation Phase and 
Determination of Parameters 

When applying the Coffin-Manson ap-

100 

10 

1,00E+06 

Fig. 9-
region. 

proach to predict 
time to crack initia
tion at the weld toe, 
three questions 
arise. The first is 
what stress concen
tration factor Kt one 
should choose to 
characterize the 
notch effect from the 
highly variable local 
toe geometry. The 
next is the definition 
of time to crack initi
ation, i.e., what crack 
depth is reached at 
the end of the phase 
before propagation 
is considered to take 
over. This depth will 
be referred to as the 
transition depth. If 
too large a depth is 
chosen, the initia
tion phase will not 
obey Equation 3 due 

to the substantial amount of crack growth 
involved. Several definitions are possible 
for the transition depth and this is proba
bly one of the reasons why so few two-
phase models have been applied in prac
tice. The last question is how to determine 
the cyclic mechanical parameters and the 
parameters in the Coffin-Manson equa
tion such that they are valid for the weld 
toe condition. Usually these parameters 
are determined from tests with small-scale 
smooth specimens. However, in a full-
scale weld there may be size effects and 
surely surface finish effects involved. Tests 
with smooth specimens may not be repre
sentative for the rough surface conditions 
found in the vicinity of the weld toe. It is 
our hypothesis that the actual parameters 
should be determined directly from full-
scale tests with welded joints where the 
early cracking is measured. Database 1 
gives us this possibility. Based on the dis
cussion above we will emphasize three 
topics: 

• Local toe geometry and stress concen
tration factor 

• The choice of the transition depth 
• The determination of the parameters in 

Coffin-Manson law. 

Local Toe Geometry and Stress 
Concentration Factor 

The statistics for the local geometry for 
the specimens tested in series 1 (Database 
1) are given in Table 1. If we substitute the 
mean values in Table 1 into Equation 7 this 
will give K, = 2.9. This value is corrobo
rated by a refined finite element analysis. 
However, it is highly likely that the cracks 
initiate at a more unfavorable geometry. It 

- TPM As Welded 

. TPM Stress Relie\ed 

Data base 2: Failures 

Database 2: Run outs 
L 

1.00E+07 

Number of cycles 

1.00E+08 

S-N curves constructed from the RFLM and TPM in the low-stress 

is above all the variability in the toe radius 
that yields K, values in the range from 2.9 
to 7. To circumvent this problem of vari
ability, Lawrence et al. suggested using the 
fatigue notch factor K* instead of K,. Fur
thermore, a worst-case notch was defined 
by setting the toe radius equal to the Pe
terson constant in Equation 6. In our case 
this will approximately give p = a„ = 0.3 
mm, which corresponds to Kr = 3 . 1 . The 
problem with the Kt concept is that the 
physical interpretation is not obvious. It 
has been claimed (Ref. 9) that the need for 
a definition of a fatigue notch factor is due 
to the fact that the crack initiation life in 
reality includes an appreciable amount of 
crack growth. If the initiation phase were 
limited to pure nucleation of a micro-
crack, the stress concentration factor 
could have been used directly in the cal
culations. Furthermore, the smallest ra
dius in a joint is a random variable and its 
mean value will be a function of the length 
of the welded joint. This is pursued below. 
Let us set the toe angle constant at the 
mean value and try to determine the most 
likely smallest toe radius found within one 
test specimen. The statistics in Table 1 
were derived from 300 measurements 
taken with 5.5-mm spacing along a welded 
joint with a total length 1650 mm. It ap
peared that two neighboring radii with a 
spacing of 5.5 mm could be very different, 
whereas at a closer distance there is a cor
relation. Based on this observation we as
sume that at a 5.5-mm spacing the mea
sured radii will be independent. Hence, a 
welded joint with length IFmm contains k 
= W/5.5 totally independent radii. The ex-
tremum distribution for the smallest value 
will then read: 
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l-^p™„(P) = ( l - ^ P ( p ) ) k (9) 

where Fp(p) is the cumulative distribution 
function (CDF) of an arbitrary radius as 
given in Table 1, whereas Fpmin(p) is the 
CDF for the smallest value over the length 
W. The mean and peak values for this 
smallest radius can be derived from the 
corresponding probability density func
tion (PDF). The peak value is by defini
tion the most likely value for the smallest 
radius within the length W. If we assume 
that p is Weibull distributed (Ref. 10) and 
W is set to 1650 mm (k = 300), then our 
approach will give a peak value for the 
smallest radius close to 0.1 mm. The 
smallest radii found in various test series 
are actually close to 0.1 mm (Ref. 10). 
Hence, these results support our ap
proach. If we use the same approach 
within the width of one test specimen (W 
= 60 mm, k = 60/5.5 = 10), we get p = 0.42 
mm. The PDFs are shown in Fig. 7. As can 
be seen, the mean value and the peak 
value are not very different for the rela
tively narrow symmetrical extreme value 
distribution. The resulting figures will give 
a stress concentration factor of 4.5 that 
will be used in our calculations. 

Transition Depth 

In earlier work, the transition depth 
has often arbitrarily been set to 0.25 mm 
(0.01 in.). However, the time to develop 
such a deep crack will include a large 
amount of crack growth. This has in many 
cases resulted in models that give reason
ably good predictions at short fatigue lives 
(less than 106 cycles), but an overpredic-
tion of the fatigue lives for low stress lev
els. The reason is that the initiation part at 
low stress levels will have a life curve with 
a slope close to the parameter b = -1/10 
(see Equation 8). This is only true for pure 
initiation, whereas crack growth will have 
a slope according to the Paris law, Mm = 
-1/3 relative to the applied stress range. 
Hence, a phase that contains both nucle-
ation and growth will have a slope between 
-1/3 and -1/10. If a slope of -1/10 is as
sumed for such a mixed process, it will 
overestimate the fatigue life significantly 
at low stresses. In more recent work, 
Lawrence et al. (Ref. 5) suggested that the 
transition depth should be between 0.05 
and 0.1 mm. In the present work, we in
vestigated the results obtained by setting 
the transition depth equal to the lower and 
upper bound of this given range. The fol
lowing arguments support a transition 
depth of 0.1 mm (0.004 in.): 

• To apply the facture mechanics model at 
crack depths smaller than 0.1 mm may 
be dubious because one approaches the 
grain size of the steel (typically 0.01 
mm). 

• In laboratory tests it is hardly possible to 

measure any crack less than 0.1 mm with 
sufficient accuracy without using de
structive methods. 

• Cracks with a depth below 0.1 mm are 
not of interest in in-service inspection as 
no common nondestructive examina
tion method can detect such small 
cracks. Hence, for inspection planning 
we do not need the notion of a crack 
smaller than 0.1 mm. 
Our arguments are partly theoretical, 

partly practical. The actual number of cycles 
to reach 0.1 mm is given in Table 2 for Data
base 1. In contrast to the fictitious initial 
crack depths obtained from the FMM 
analysis in the previous section, this is a 
measurable quantity. The fatigue initiation 
life is close to 30% of the entire fatigue life. 
The entire fatigue life is 10% shorter than 
the predictions from the F-class curve. The 
arguments for a transition depth of 0.05 mm 
are less obvious. It is to be noted that even 
this shallow depth is well above the initial 
crack distribution obtained from the frac
ture mechanics model (see Fig. 5). The 
upper bound was found to be 0.03 mm for 
these cracks. Hence, the transition depth of 
0.05 mm is about the smallest transition 
depth possible based on what may be inter
preted as crack size of possible initial flaws. 
The time to arrive at 0.05-mm crack depth 
was not measurable for the tests carried out 
for Database 1. The number of cycles to 
reach this depth can be found by backcalcu-
lation from the first measurable crack size 
(0.1 mm) by applying the fracture mechan
ics model. In this way the number of cycles 
to reach 0.05 mm was determined to 90,000 
cycles, i.e., 20% of total fatigue life. 

Cyclic Mechanical Properties and 
Parameters in Coffin-Manson Equation 

It is our hypothesis that parameters de
termined from small-scale smooth speci
mens are not directly applicable for weld toe 
conditions. Hence, we will determine these 
parameters directly from the time to early 
cracking as given Table 2. We now seek the 
parameters in Equations 3 and 4 that corre
spond to the initiation time given in Table 2. 
The calibration is carried out by assuming a 
dependency between the various parame
ters with the Brinell hardness (HB) as the 
key parameter. The following equations 
were applied (Ref. 11): 

S;=0.6085„ MPa K'= Sylo.002\ MPa 

ft = -0 .1667tod2 .1+— &[ = 0.955,, +371) Ml'u (10) 

c = -0.7 <c<-0.5 

where Su and Sv are the tensile stress and 

yield stress respectively, and Sy,is the 
cyclic yield stress. The correlation be
tween the various parameters, using the 
HB as a master variable, is not exact. In 
Ref. 12, it was found that the relationship 
might lead to significant overestimation of 
the initiation life. Furthermore, Dowling 
(Ref. 9) suggested that the surface condi
tion at the weld toe would primarily alter 
the fatigue strength exponent b. However, 
in the present work we accept the rela
tionships given in Equation 10 but not the 
absolute values. An absolute value is 
sought such that the time to reach a given 
transition crack depth coincides with what 
actually has been measured on the welded 
joints in Database 1. The solution gives a 
HB close to 202 for the cycles to reach a 
crack depth of 0.1 mm. This HB is very 
close to the value actually measured in the 
HAZ of the weld toe. The values mea
sured for the base metal was HB = 145 
and value of the HAZ was 213. Hence, our 
solution is only 5% less than the highest 
value measured at the potential crack 
locus. If we had applied HB = 213 directly, 
the solution would give the time to reach 
a crack depth of 0.3 mm. Hence, a signifi
cant amount of crack propagation would 
have been included in the initiation phase. 
When using the search scheme for deter
mining the parameters with a transition 
depth of 0.05 mm, we obtained a HB of 
180, i.e., still within the range measured on 
the specimens, but 15% less than the value 
at the HAZ. 

The parameters corresponding to HB 
= 180 (a = 0.05 mm) and HB = 202 (a = 
0.1 mm) were used in Equations 3 and 4 to 
define the first part of the TPM. The prop
agation phase (Equation 2) was subse
quently added to calculate the entire fa
tigue life. The model predicts exactly the 
mean value for the fatigue lives of Data
base 1 at a stress range of 150 MPa (21.7 
ksi). When the stress range was decreased 
from 150 MPa (21.7 ksi) to below 100 MPa 
(14.5 ksi), the model based on a transition 
depth of 0.1 mm predicted somewhat 
longer lives than the median line obtained 
from the RFLM, which is representative 
for Database 2 in this stress region. The 
model based on a transition depth of 0.05 
mm predicted results somewhat shorter 
lives than figures obtained from the 
RFLM in this region. At a stress range of 
80 MPa, the model with a = 0.1 mm pre
dicts 28% longer life than the median line 
of the RFLM, whereas the model with 
a=0.05 mm predicts 20% shorter life than 
the same median line. These results are 
discussed more in detail in the next sec
tion. The results indicate that the interval 
for a transition depth between 0.05 and 0.1 
mm as proposed by Lawrence et al. (Ref. 
5) is a reasonable choice. Furthermore, 
any transition depth in this narrow band 
will predict fatigue life well within the scat-
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ter band of Database 2. Based on the ar
guments given in the beginning of this sec
tion, we have selected a transition depth of 
0.1 mm in what follows. The correspond
ing parameters in the Coffin-Manson 
equation are given in Table 3. As we al
ready have shown, the solution given in 
Table 3 is not unique. Other solutions 
without total dependency between the pa
rameters are possible. However, these so
lutions will not be far from the one given 
in Table 3. Hence, we regard the solution 
representative of prediction of time to 
reach a depth of 0.1 mm in welds made 
from C-Mn steel with a yield stress close 
to 345 MPa (50 ksi). 

Constructing the S-N Curve from 
the Two-Phase Model 

One of our main goals is to construct S-
N curves from the TPM that are consistent 
with the RFLM curves obtained in Part 1 
of this investigation. As pointed out in Part 
1, the RFLM curve fits the data points far 
better than the F-class curve at low stress 
ranges. Although the TPM is semiempiri-
cal, it has a more physical-theoretical basis 
than the RFLM, which is based on purely 
statistical methods. The TPM is capable of 
predicting the influence of, for instance, 
local weld toe geometry, stress ratio, and 
stress relieving. Thus, high-quality joints 
will have long fatigue lives, whereas poor 
quality will be penalized. The TPM model 
can also be applied to calculate fatigue 
lives at low stress levels where experimen
tal data do not exist and where it is dubi
ous to extrapolate the statistical RFLM. 

Let us begin by demonstrating that the 
model can predict fatigue lives that are in 
good agreement with the S-N curve ob
tained from the RFLM under appropriate 
assumptions of the quality of the joint. For 
joints that are stress relieved (Database 1), 
the TPM will predict fatigue lives as given 
in Table 4 at various stress levels. As can be 
seen from the table, the time to crack ini
tiation at a test stress range of up to 150 
MPa (21.7 ksi) is 30% of the entire fatigue 
life, whereas it is 88% of the fatigue life at 
a stress range of up to 80 MPa (11.5 ksi). 
These results pinpoint the importance of 
the crack initiation life at low stress ranges, 
i.e., in the stress region where service 
stresses usually occur. The table also lists 
the fatigue lives predicted by the RFLM 
and the F-class. At stress ranges below 100 
MPa (14.5 ksi), the TPM predicts some
what longer lives than the S-N curve based 
on the RFLM and significantly longer lives 
than the F-class S-N curve. As can be seen 
from Table 4, the total TPM fatigue life is 
close to 1.6 times longer than the life ob
tained from the RFLM and 5.5 times 
longer than prediction made by the F-class 
at 80 MPa (11.5 ksi). 

Table 4 — Results Derived from the TPM at Various Stress Ranges. Stress Relieved (SR), R = 0.3 

(MPa) 

150 
12(1 
100 

80 
Ml 

V, (cycles) 
TPM 

1.4 < 10s 

5.6 < 105 

2.1 < 10'' 
1.6 < 107 

3.7 ( 10s 

Np (cycles) 
TPM 

3.3 ( 105 

6.5 ( 105 

1.1 < 10'' 
2.2 < 106 

5.1 ( 10'' 

N, (Cycles) 
TPM 

4.7 ( 10? 
1.2 < 10'' 
3.2 ( 10'' 
1.8 ( 107 

2.9 ( 108 

Nj/N, % 
TPM 

30 
47 
66 
88 
99 

N, 
RFLM 

4.6 < 10s 

1.1 ( 10'' 
2.5 ( 106 

11.0 < 106 

X 

N, 
F-class 

5.1 < 10? 
1.0 < 10'' 
1.7 < 10'' 
3.4 < 10" 
8.0 ( 10'' 

Table 5 — Results Derived from the TPM at Various Stress Ranges. As Welded (AW), R = 0.1 

Stress Range 
(MPa) 

150 
120 
LOO 
SO 
60 

N, (cycles) 
TPM 

1.3 ( 10-s 

4.3 < HI? 
1.3 ( 10'' 
6.6< 106 

8.1 ( 107 

TV (cycles) 
TPM 

3.3 ( 105 
6.4 < 105 
1.1 < 106 
2.2 ( 10'' 
5.1 ( 10'' 

N, (cycles) 
TPM 

4.6 ( lO5 

1.1 ( 10'' 
2.4 < 10'' 
8.8 < 106 

8.5 ( 107 

/vy/v, % 
TPM 

28 
40 
54 
75 
94 

When comparing these figures we must 
bear in mind that the figures derived from 
the TPM correspond to the test series in 
Database 1, i.e., stress relieved (SR) and 
with an applied stress ratio ofR = 0.3. This 
stress relieving has a strong bearing on the 
time-to-crack initiation through the Mor
row mean stress effect at long lives (Equa
tion 3). The RFLM S-N curve is domi
nated by Database 2 in the low stress 
region. These tests are carried out on non-
load-carrying fillet weld joints with thick
nesses in the range of 16 to 38 mm. The 
specimens are all in the as-welded (A-W) 
condition and with a positive stress ratio, 
i.e., there may be large residual stresses 
present in the specimens. Furthermore, 
the vast majority of tests used to deter
mine the F-class curve are in A-W condi
tions and often tested at a stress ratio close 
t o R = 0.1. 

Thus, our next step is to simulate these 
conditions for the initiation part of the 
TPM by setting the residual stress equal to 
the actual material yield stress, i.e., 400 
MPa (58 ksi). The results are given in 
Table 5. As can be seen, the TPM results 
are now almost identical to the nonlinear 
S-N curve obtained from the RFLM, but 
the model still predicts a fatigue life 2.5 
times longer than the F-class at 80 MPa 
(11.5 ksi). These results are illustrated in 
Fig. 8 where the F-class and RFLM-based 
S-N curves are drawn together with the 
TPM S-N curve and the test results. As can 
be seen, we have basically two types of 
curves. The F-class curve is bilinear, 
whereas the RFLM and TPM curves are 
continuously changing slope. All three S-
N curves coincide at high stress levels. 
Hardly any discrepancy in fatigue life (less 
than 10%) is found above a stress range 

level of 120 MPa (17.4 ksi). When the 
stresses are lowered to under 100 MPa, 
the RFLM curve and the TPM curve still 
coincide, but they predict 2-9 times longer 
lives than the F-class curve as long as the 
stress range is above the F-class fatigue-
limit of 56 MPa (8.1 ksi). It is our judgment 
that the F-class curve is too conservative in 
the stress region under consideration, as 
was already discussed in Part 1. This is due 
to the fact that it is a straight line and 
based on test results that have the center 
of gravity for the stress ranges between 
120 and 150 MPa (17.4 and 21.7 ksi). 
Hence, the curve fails to take into account 
the increasing fatigue life due to the im
portance of an initiation phase below 100 
MPa. The experimental results plotted in 
this stress region corroborate the predic
tions made by the TPM. It has been shown 
how the TPM is capable of correctly tak
ing into account the effect of residual 
stresses and loading ratio. This is shown in 
more detail in Fig. 9. The life curve ob
tained for the A-W condition coincides 
with the median curve (i.e., the RFLM 
curve) for Database 2. 

Finally, it should be noted that al
though the statistically based RFLM and 
the physically based TPM give the same 
life predictions at almost any stress range 
level, there is one fundamental difference 
between them. The RFLM does prescribe 
a fatigue limit, whereas the TPM does not. 
This is illustrated in Fig. 9 where the focus 
is on the lower stress region. The slope of 
the S-N curve derived from the TPM will 
not be smaller than b = -1/10 and will 
never become horizontal as is the case 
with the RFLM. This gives a discrepancy 
between the curves at very long lives 
(longer than 108 cycles) such that the 
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RFLM is more optimistic. The TPM pre
dicts that any joint will eventually fail if the 
number of cycles is high enough. It is in 
fact possible to build a fatigue limit into 
the TPM by assuming that after crack ini
tiation has taken place the crack may stop 
to grow, due to the fact that it has a SIFR 
below the threshold value. However, no 
data are available to corroborate such be
havior for shallow surface-breaking 
cracks. 

Conclusions 

Our study was primarily carried out for 
non-load-carrying fillet weld joints made 
of C-Mn steel with nominal yield stress 
close to 345 MPa (50 ksi). A pure fracture 
mechanics model (FMM) and a two-phase 
model (TPM) were used to predict the fa
tigue life. The initiation life was modeled 
by the Coffin-Manson equation, whereas 
the crack propagation was based on the 
simple version of the Paris law. The mod
els were validated and calibrated with the 
use of large databases. The criteria for ac
ceptance of the models were that they 
should predict both damage evolution and 
final fatigue life at any stress level. The 
FMM failed to fulfill these criteria, 
whereas the TPM gave an excellent fit to 
both measured crack growth histories and 
experimental fatigue lives. The following 
conclusions were drawn. 

The fatigue behavior of fillet weld 
joints is far more complex at typical in-
service stresses than fracture mechanics 
can describe. This is due to the fact that 
the crack initiation phase dominates the 
fatigue life at these low stresses. 

A TPM is capable of modeling the 
damage evolution from the initial state to 
the final fracture provided that the model 
is accurately calibrated for this purpose. 
The notch factor at the weld toe is based 
on extreme value statistics for the toe 
geometry, and the transition crack depth 
between the initiation phase and the prop
agation phase is set to 0.1 mm. The para
meters in the Coffin-Manson equation 
were determined directly from early 
cracking in full-scale welded joints. 

As the TPM has a semiempirical phys
ical basis, the determining factors such as 
residual stresses, global and local joint 
geometry, and loading mode are readily 
accounted for. 

The S-N curves constructed from the 
model are nonlinear for a log-log scale and 
coincide with the curves obtained from the 
statistical RFLM in Part 1 of this investi
gation. Both models fit experimental data 
far better than the conventional bilinear S-
N curves. 

There is a fundamental difference be
tween S-N curves obtained from the 
RFLM and the TPM in the way that the 

latter curves do not predict any fatigue 
limit. At stress ranges below 70 MPa the 
RFLM curve will appear flat, whereas the 
TPM curve will continue to fall with a 
small slope close to the parameter b in the 
Coffin-Manson law. At present there are 
no data to corroborate either one of these 
curves, but the authors tend to have more 
confidence in the prediction made by the 
physical-based TPM than the predictions 
based on the statistical RFLM when ex
trapolated outside the range of the data. 

The first practical consequence of the 
present two-phase model is that it predicts 
longer lives at low stress ranges than the 
conventional S-N curves in rules and reg
ulations. With the application of the TPM-
constructed S-N curve in the lower stress 
region it is possible to reduce dimensions 
by 30-40% and still achieve the same fa
tigue life as for the F-class S-N curve. 

The second practical consequence is 
that in-service inspection strategy may be 
optimized. This is due to the fact that the 
crack path leading to final fracture is quite 
different from the path calculated by a 
pure fracture mechanics model. The two-
phase model with its long initiation phase 
will give a more hidden path for crack evo
lution. Hence, an inspection program with 
increased inspection frequency at the end 
of service life can be proven to be 
favorable. 

Suggestions for Future Work 

In this work, the TPM has been used to 
construct median S-N curves only. Future 
work should focus on constructing quan-
tile curves for design purposes as well. 
This can be done by Monte Carlo simula
tion treating the main determining factors 
as random variables. The resulting curves 
should be compatible with the quantile 
curves obtained from the RFLM. Further
more, as the TPM has no fatigue limit, it 
will be interesting to analyze how the 
model responds to variable loading by 
using a damage accumulation law. Finally, 
the practical consequences of the model in 
terms of joint dimensions and scheduled 
inspection programs should be studied in 
more detail. Other types of joints such as 
butt joints are also of great interest in this 
regard. 
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